This paper presents an analysis of thermal fatigue tests of pipe components with 14 mm wall thickness made of 316L austenitic steel or P91 ferritic-martensitic steels. The tests are done by heating the pipes to 550°C by induction heating and then cyclic cooling by water cooling resulting in secondary thermal stresses and an axial constant with a constant primary stress between 0 and 100 MPa. The damage evolution and crack depth is measured by X-ray tomography and time-of-flight-diffraction. A very complex cracking is observed for the cases with no axial primary load, and with increasing primary load dominant circumferential cracks are observed. The test are analysed by an engineering approach that included a thermal analysis, a cyclic-plasticity analysis and crack propagation. The formation of a 1 mm crack is estimated by fatigue curves. The propagation from a stipulated 1 mm axial or circumferential crack is done by plasticity corrected stress intensity factors in conjunction with Paris law. The fatigue life predictions are compared with the experimental observations and in general very good agreement is reached, in particular for the cases with a large primary load. The proposed approach can be used in an engineering analysis to predict the thermal fatigue life of a component.
Introduction
Thermal fatigue is a long-standing topic and major life limiting degradation mechanism for mechanical components in nuclear and thermal power plants, automotive industry and aerospace. Significant research and development has therefore been devoted to better understand and develop predictive models in the last decades e.g. [1] [2] [3] [4] [5] [6] [7] [8] [9] . Although thermal fatigue is a well-known problem, much work is still needed to develop reliable predictive engineering approaches. Some of the specific issues are: heating and cooling transients of a surface, lead to temperature gradients in the components and thermal stresses arise when the thermal strain is totally or partly constrained; the damage is complex and typically starts with a network of surface cracks followed by the formation of a large number of interacting cracks; http://dx.doi.org/10.1016/j.engfracmech.2016.09.006 0013-7944/Ó 2016 Published by Elsevier Ltd. the fatigue damage develops under non-isothermal conditions and multi-axial loading, and also often under variable amplitude; if the maximum temperature is in the creep range, creep-fatigue interaction may need to be accounted for; and for low-cycle thermal fatigue cyclic plasticity must be addressed.
Thermal fatigue can be high cycle fatigue with low amplitude thermal loads, as for mixing of cold and hot fluids in a pipe junction, or a low frequency problem with high amplitude thermal loads; for instance due to periodic start-ups and shutdown of power plants. Low-cycle thermal fatigue is expected to become an increasing problem for power plants in the future, since they will need to operate in a more flexible manner to balance intermittency from renewable energy sources.
One obvious strategy to mitigate thermal fatigue is to use materials that are thermal fatigue resistant. High thermal stresses develop in materials with low thermal conductivity and high thermal expansion. A simple measure of a material's thermal resistance is given by R TF ¼ kr r =ðaEÞ, where k is the thermal conductivity, a the thermal expansion coefficient, E Young's modulus and r r a critical stress such as yield stress [4] . The tempered ferritic-martensitic steel P91 and the austenitic steels such as 316L are commonly used structural materials in power plants. Using the RCC-MRx material data [10] for P91, R TF is 4.2 Á 10 3 at room temperature and 2.82 Á 10 3 at 550°C whereas for 316L the corresponding values are 0.89 Á 10 3 and 0.68 Á 10 3 respectively. Thus P91 is expected to better resist thermal fatigue degradation than 316L. P91 is therefore often the reference materials for certain components such as steam generators, heat exchangers and coolant pipes in sodium-cooled fast reactors [8, 9] where thermal fatigue is an issue.
In this paper we will first summarize thermal fatigue simulation tests of P91 and 316L pipe components where the thermal fatigue loadings are simulated by continuous induction heating of the pipes and cyclic water cooling from the inside, in order to induce typical thermal low-cycles fatigue damage. In the second part of the paper we will describe an engineering assessment approach that can capture the key factors of thermal fatigue. The model predictions are compared with the De, Dr total strain and stress range De m , De p mechanical and plastic strain range K stress intensity factor computed from stresses and Handbook solutions b k and i k parameters needed for K-calculations from stress fields; b k used to fit the stresses to polynomial i k tabulated influence coefficients that depend on crack orientation and crack geometry J J-integral K plc1 , K plc2 crack tip opening displacement and plastic collapse plasticity correction to stress intensity factor CTOD pl , CTOD ssy crack tip opening displacement computed from Dugdale models and used for crack tip opening displacement plasticity correction r app , r f average stress and flow stress used in the Dugdale model L R normalized plastic collapse load used for plastic collapse correction K max , K min maximum and minimum computed stress intensity factor during a load cycle DK eff effective stress range used in Paris law DK deep eff , DK surf eff effective stress range at deepest and surface point of semi-elliptic crack da/dN, dc/dN fatigue crack growth increment of a semi-elliptic crack in the depth and surface direction C p , m p Paris law parameters R ratio between K max and K min during a load cycle a, c depth and surface half-length of semi-elliptical crack a 0 , c 0 depth and surface half-length of postulated semi-elliptical starter crack used for crack propagation F axial load applied in the test H, R i wall thickness and inner radius of pipe component t time T temperature experimental observations. The different modelling assumptions are then discussed in view of further improvements of the modelling approach.
Component tests

Test set-up
The JRC has developed a facility to simulate thermal fatigue loads and damage in pipe components (see Fig. 1 ) [5, 6] . These pipes were fabricated from a block of material and are therefore expected be isotropic. The pipe has an inner radius of 10 mm and a wall thickness of 14 mm. In this study the central part of the pipe is heated continuously by induction to a temperature of 550°C using an external heating coil. A thermal load cycle is induced by pumping room temperature water through the pipe for around 10 s. After the water flow has stopped, air is blown through the pipe to remove remaining water from the surface and the pipe heats up again through conduction from the hot outer surface for about 45 s when the next water flushing is started. The full thermal cycle takes around one minute. The pipe is held in a lever arm test machine providing an axial load, but no restraint on axial displacement. The thermal loads induce secondary self-equilibrating cyclic stresses whereas the axial load gives a primary stress. A test specimen equipped with five thermocouples across the wall thickness was used to measure the temperature profiles for P91 and 316L pipes respectively. The initial surface cracking was identified by replica methods. Two different non-destructive methods were used to measure crack growth: time-of-flight-diffraction (TOFD) [11] , as a relatively quick method to determine crack depth and X-ray computed tomography (XCT) for a three-dimensional mapping of the damage [12] . Only very few dedicated well controlled thermal fatigue components tests are reported in the literature [13] . Table 1 summarizes the test matrix and measured crack depths.
Summary of component test results
F is the imposed axial load: 0, 50, 100 and 150 kN, which correspond to a nominal axial stresses of 0, 33, 66 and 100 MPa respectively. N i is number of cycles after which crack initiation was detected by replica. For the first tests (TFR1-TFR5) the first check was performed after 10,000 cycles following the same procedure adopted for previous tests, where the maximum temperature was 350°C. With 550°C surface cracking occurred well before 10,000 cycles, hence the ''<" sign, and the first replica test were subsequently taken already after 1000 cycles. N test is the number of conducted thermal cycles. a max refers to the maximum crack depth measured at N test for circumferential and/or axial cracks a (defined in Fig. 2 ). Failure means that a through-wall crack has formed. Good agreement was observed between crack depths from TOFD and CT results [12] , as well as from direct comparison from cut specimens [14] .
For the first tests (TFR1, 2, 3 and 5), a manually operated TOFD system was used. The tests were interrupted at intervals and crack depth measurements were taken. The accuracy of the TOFD measurements were assessed by comparing with post- test crack depth measurements of cut specimens [14] . The crack sizing with the manual TOFD system was quite time consuming (typically one day's work) and the hardware eventually broke down. We therefore developed a new automatic system which is much faster and provides more reliable estimates. For the tests TFR12-16 and AB04 and AB05 the TOFD measurement were only done at one, two or three intervals due to un-availability of the TOFD system. The XCT has also only been available for the more recent tests.
Cracking is initiated at the inner surface as a network of shallow cracks followed by growth of some cracks. Fig. 3a shows a cylindrical post-test cross-section of the central segment of TFR3 after failure and Fig. 3b a vertical cross-section with circumferential crack after cutting and the upper and lower sides of the cylindrical cross-sections. In Fig. 3a we see a large TFR1  316L  0  <10  46  6.3  Failure  TFR3  316L  0  <10  90  12.8  Failure  TFR2  316L  50  <10  58  Failure  7.2  TFR5  316L  50  <10  30 number of uniformly distributed axial half-through the wall cracks and one surface breaking axial crack. On the axial crosssection in Fig. 3b , a large number of circumferential cracks can be seen with the deepest being almost 13 mm. It follows from Table 1 that the number of cycles needed to reach a specific crack depth is generally reduced by increasing the axial load. The axial load promotes the growth of circumferential cracks and reduces the number of deep cracks. This is clearly seen from the XCT mappings of TFR5, TFR12 and TFR 15 in Fig. 4 . For TFR 5 with F = 50 kN, a very large number of interlinked axial cracks can be observed together with a small number of circumferential cracks. For TFR12 the two circumferential cracks are dominant whereas for TFR15 one, an almost circumferential planar crack, can be seen. It is surprising that the trend with a dominating circumferential crack is stronger for TFR 15 with F = 100 kN than for TFR12 with F = 150 kN.
By comparing TFR12 and 16 with AB04 and AB05 in Table 1 we see that initiation times are longer for P91 specimen than for 316L.
Thermal fatigue life assessment
The thermal fatigue life assessment is done in three consecutive steps. In the first step the temperature gradients are computed from a thermal analysis. In the second step the stresses and strains resulting from the thermal gradients and axial loads are computed. Both the thermal and stress analyses are done by finite element analyses of an uncracked component using the commercial FE-code ABAQUS. In the third step the crack initiation and propagation are calculated from the stress and strain fields in step 2 by post-processing procedures. The temperature dependent materials properties for 316L and P91 steels were taken from RCC-MRx material data sheets [10] if not stated otherwise. The details of each of these steps are given below.
Thermal analysis
The temperature fields are controlled by the heat transfer between coolant and pipe and the heat conduction in the pipe. The value of the heat transfer coefficient between the coolant and the solid, h, has very large impact on the temperature fields and depends mainly on the physical properties of the coolant, the properties of the flow and to a lesser extent on the properties of the solid. The heat transfer coefficient was computed by axi-symmetric transient CFD analysis with a solid-fluid interaction using the software tool ANSYS CFX. The model includes a solid domain, representing the metal wall of the heated pipe, and a fluid domain, representing the water within the pipe. The initial temperature of the pipe wall was 550°C. The pip bore hole was then filled with water at 20°C, representing an instant filling of a hot pipe with the cold coolant with an inlet velocity of 4.77 m/s. The cold water heats up on its way and starts to boil at the surface once it attains 100°C. The RPI wall boiling model from the Rensselaer Polytechnic Institute [15] was applied.
The resulting heat transfer coefficients along the wall are shown in Fig. 5 for P91 and 316L at different times after the start of the water flushing. At the inlet (height 224 mm), the coefficient is low due to absence of boiling. The coefficient then increases along the tube length from enhanced heat transport and boiling. The overall heat transfer coefficient decreases with time due to equalisation of the temperatures during the transient. Except for the inlet part, the heat transfer coefficient does not vary significantly along the height of the specimen. From Fig. 5 it follows, as expected, that the heat transfer coefficient is very similar for 316L and the P91 specimens and varies from 27 kW/m 2 K at the outlet in the beginning of the cooling, to 21 kW/m 2 K at the end of the 10 s cooling. These values are in good agreement with typical literature data [16] .
The temperature distribution from the cyclic thermal loadings in the tests was calculated by the ABAQUS FE axisymmetric model. The finite element mesh at the inner surface was very dense to capture the strong thermal gradients. The time dependent temperature distribution is then governed by the heat transfer coefficients and the thermal conductivity of the two steels. The boundary conditions are illustrated in Fig. 6 . The segment of the outer surface of the pipe with the coil had a prescribed temperature of 550°C to represent the induction heating. The entire pipe was heated for 600 s followed by cooling cycles with water and heating cycles with no water flow. During the cyclic thermal loading a temperature of 550°C was prescribed on the outer surface covered by the induction coil. For the cooling stage water with a temperature of 100°C and a constant heat transfer coefficient of 25 kW/m 2 K was adopted for both steels. The heat transfer assessment did not distin- guish between cooling from the forced convection and the evaporation after the water flow stopped. The heating part was simulated by a heat transfer analysis using a heat transfer coefficient for air (15 W/m 2 K), which is several orders of magnitude lower than the one for water.
The duration of the cooling step in the analysis was 13 and 11 s for 316L and P91 respectively, with a total duration for the thermal cycle of 57 s in both cases. The cooling times, which included both the forced convection and the evaporation, were calibrated to give an optimal fit with the experimental data. Fig. 7 shows measured and computed temperatures at the thermocouple locations for a stabilized cycle. The agreement between the computed and measured values is excellent for 316L and quite good for P91. In [13] the same temperature ranges were reported with sodium as coolant but at much lower cooling rates.
For the thermal fatigue life assessment it is crucial to get an accurate prediction of the temperature gradients. We also performed more complex thermal analyses with the time and space dependent heat transfer coefficients illustrated in Fig. 5 , but the difference for the temperature variations in the pipe was negligible compared to the simpler analysis with a constant value. Fig. 8 shows the temperature distributions during the cooling and heating part of a stabilized cycle for 316L. The strongest temperature gradients occur at the beginning of the cooling whereas the lowest temperatures are attained at the end of the cooling. 
Stress-strain analysis of uncracked pipe
Fig. 6 also shows the used mechanical boundary conditions. The lower part is constrained axially; the upper part has a prescribed axial stress corresponding to the axial load. The lower and upper thicker parts of the pipe are constrained in the radial direction and all other parts are traction free. The time dependent temperature distributions from the thermal analysis are shown in Fig. 8 , together with the boundary conditions resulting in time dependent stress and strain distributions in the pipe. The temperature dependent Young's modulus and Poisson's ratio were taken directly from the RCC-MRx data sheets for the two steels [10] . The thermal loadings induce low-cycle fatigue, which requires a cyclic plasticity constitutive model. For this we used the Chaboche model [17] [18] [19] implemented into the ABAQUS code. The cyclic plastic stressstrain curve can then be expressed as:
Here Dr=2 and De p i =2 are the stress and plastic strain amplitudes respectively, r y is the yield stress,
Þ is the nonlinear kinematic hardening as first proposed by Frederick and Armstrong [20] , and R 0 ð1 À e Àbp Þ is the isotropic cyclic softening/hardening, where p is the accumulated cyclic plastic strain, R 0 is the asymptotic value for stabilized cycles and b controls the speed of stabilization, and M is the number of terms used to describe nonlinear kinematic hardening. The material constants C i ; c i ; r y ; R 0 and b need to be calibrated to cyclic stress-strain data.
RCC-MRx provides iso-thermal cyclic plastic stress-strain curves at the fatigue half-life for 316L and P91. The model in Eq.
(1), but with no cyclic softening/hardening (i.e. R 0 ¼ 0) was fitted to the RCC-MRx data for 316L and P91 respectively. The data in the literature may differ; for instance for P91, [21, 22] give higher stress amplitudes than the RCC-MRx code. Fig. 9 shows the calibrated data together with the RCC-MRx data. The calibrated values for C i ; c i ; r y are given in Table 2 . In the stress analysis interpolation of these values were used to cover the entire temperature range. The agreement is quite good for P91. For 316L the agreement is also very good up to a plastic strain amplitude of 0.015. For larger strain amplitudes the models slightly underpredict the experimental stress amplitudes. Note that 316L has no temperature dependence in the temperature range 300-550°C. P91 yields at a much higher stress than 316L and its plastic hardening is much smaller. Parameters for P91 have clear temperature dependence. It should be noted that P91 has a significant and continuous cyclic softening [23] [24] [25] whereas 316L usually has a slight initial cyclic hardening that can be followed by softening [26] [27] [28] . More elaborate calibration to even more general Chaboche models would be possible, [29] , but more data would be required and this was out of the scope for this study.
Stress distributions
The cyclic stress variations in the pipe stabilize after a few cycles and we only summarize some key observations for computed stresses along the centre of the pipe. The thermal gradients during a cycle induce associated through-wall stress gradients. This is illustrated by Fig. 10 where the through-wall axial stress distributions for 316L, in the case with no axial load, from the onset of the down-shock until the end of the thermal cycle. At the end of the heating (t = 57 s), the inner surface is in compression and the outer surface in tension. The down-shock results in a very strong tensile stress increase close to the inner surface (t = 0.5 s) and stress reduction at the outer surface, but at a slower rate. The depth with tensile stress then spreads from the inner surface as the cooling proceeds, and when the cooling stops (13 s) and the temperature increases, the inner surface goes into compression and the outer surface into tension. Although the temperature gradient at the onset of cooling is confined to the inner surface, the entire stress distribution is affected since the secondary thermal stresses are selfequilibrating. Another important observation from Figs. 8 and 10 is that the highest tensile thermal stresses occur when the temperature is low and thus we have an out-of-phase thermo-mechanical load. The stress distributions vary significantly during the thermal cycle and the difference between the maximum and minimum stresses is therefore more informative. Fig. 11 shows the through-wall distribution of the maximum and minimum axial stress and hoop stress respectively for 316L and P91 during a stabilized cycle, for zero and 150 kN axial load. From these plots some general observations can be drawn: the tensile stress close to the inner surface is higher for P91 than for 316L due to its higher yield stress; the stress at the inner surface is bi-axial since the axial and hoop components are almost identical; the axial load increases the mean stress of the axial stress component across the wall, but the peak tensile stress is hardly affected due to plastic stress re-distribution.
Ratcheting
In the finite element analysis the stress variation stabilizes after some cycles but the plastic strain accumulates for each cycle in the presence of a mean stress. This is illustrated in Fig. 12a for the axial stress and strain at the inner surface for 316L with F = 0 and 150 kN respectively. P91, which has a higher yield stress, has also less ratcheting and much smaller strain range than 316L, as shown in Fig. 12b . It should be stressed that the analyses are based stabilized cyclic stress-strain curves. The hysteresis curves would be affected by cyclic hardening or softening.
We conclude from Fig. 12 that the nonlinear kinematic cyclic plasticity model results in hysteresis curves with stabilized stress and strain ranges and a constant mean-stress-dependent ratcheting, but it also varies through the wall thickness. Fig. 13 plots the strain range and the ratcheting between the computed ninth and tenth cycle for the hoop and axial component for F = 0, 50, 100 and 150 kN. The results are given for 316L at the inner and outer surface of the pipe and for P91 at the inner surface. Since the plastic deformation is dilatation free, a positive ratcheting in the axial direction must be compensated by a negative ratcheting in the hoop direction. It can also be noted that although the strain ranges for 316L are much larger at the inner surface than at the outer surface, the ratcheting is of equal amplitude at the inner and outer surface. As already seen in Fig. 12b , P91 has overall smaller strain ranges and less ratcheting.
Purely kinematic non-linear hardening results in a constant ratcheting per cycle which leads to an over-prediction [30] . More elaborate models that combine kinematic nonlinear hardening with isotropic hardening and inclusion of a threshold stress allow models with limited ratcheting [30] . Fig. 11 . Through-wall distribution of maximum and minimum stresses for 316 and P91 specimens with F = 0 and 150 kN (a) axial stress; (b) hoop stress. Fig. 12 . Computed hysteresis curves for the axial stress and strain components at the inner surface during ten cycles (a) 316L for F = 0 and 150 kN; (b) 316L and P91 F = 150 kN.
Total strain range distribution crack initiation
Crack initiation and propagation of short cracks can be related to strain range, e.g. [31] [32] [33] . Low cycle fatigue curves relate fatigue life to plastic or total strain range and can be found for specific materials in design codes such as RCC-MRx. Fatigue curves are derived from iso-thermal tests with homogenous strain across the cross section and include both crack initiation and crack propagation. Although in our case we have strong through-wall strain gradients we will use RCC-MRx fatigue curves and the total mechanical strain range near the inner surface to compute the number of cycles to have a crack with depth of 1 mm. Fig. 14 shows the computed total mechanical strain (e mech ¼ e total À e thermal ) ranges versus crack depth for the axial and hoop strain component for 316L and P91 for the case F = 0 kN. The mean strain range between 0 and 1 mm depth is about 0.6% for 316L and 0.35% for P91. The near inner surface strain range for the hoop and axial component is very similar for both materials. The fatigue curves are temperature dependent and the fatigue life decreases with increasing temperature. From the RCC-MRx Design curves, the number of cycles to failure (typically defined as a load drop of 50% from cracks) for a strain range of 0.35% for P91 at 550°C, 500°C, 450°C and 20°C, are 3900, 5700, 8000 and 18,000 respectively. For 316L the number of cycles to failure at a strain range of 0.60% at 550°C, 500°C, 450°C and 20°C, are 415, 612, 860 and 1900 respectively.
Discrepancies between the expected number of cycles to crack initiation and the actual measured numbers are to be expected. First of all the Design Fatigue Curves are conservative in nature, using a reduction factor of 20 for number of cycles or 2 for the strain range. Furthermore our tests are not isothermal, but temperatures close to the surface vary between 150°C and 550°C as seen in Fig. 8 . A constant temperature of 550°C is a conservative assumption. Moreover, the stress and temperature are out-of-phase. The fatigue life from thermo-mechanical tests is usually longer in out-of phase loading than corresponding iso-thermal tests at the same maximum temperature [25, 28, 34] . For TFR16 (316L) a circumferential crack of depth 1 mm was measured after 2000 cycles by the TOFD. Given the limited data and uncertainties on the reliability of the iso-thermal fatigue data, we will use this value to anchor the number of cycles for formation of a 1 mm crack. Dividing the measured value 2000 with the Design Curve value for failure at 550°C, results in a reduction factor 4.8. Applying the same reduction factor for P91 gives 4.8 ⁄ 3900 = 18,700. A crack initiation time of 2000 and 18,700 cycles for 316L and P91 respectively will be used. As seen in Fig. 13 the strain range at the surface is almost the same for the axial and hoop strains. We will therefore assume that the same number of cycles is needed for the formation of a 1 mm axial and a 1 mm circumferential crack. Moreover, since the magnitude of the axial force has a minor impact on the inner surface strain range (Fig. 11 ), we will also assume that the number of cycles to form a 1 mm crack is independent of the axial load. In the experiments, surface cracking from replicas was observed already at the first inspection after 1000 cycles for 316L whereas the first surface cracking was observed after about 8000 cycles for P91. These observations are in line with our assumptions on the formation of a 1 mm crack.
Fatigue crack propagation
Computation of plasticity corrected stress intensity factors
A finite element analysis simulation of interacting fatigue cracks with complex shapes and where cracks are modelled explicitly is impossible in practice. Therefore we adopted a number of simplifications for the crack propagation analysis. First of all we assumed a single circumferential or axial crack. We also assumed that the crack is semi-elliptical as shown in Fig. 15 or axi-symmetric when the length of a circumferential crack (2c) reaches the inner surface perimeter.
The elastic stress intensity factor for a set of semi-elliptical or axi-symmetric cracks in a cylinder can be computed from tabulated solutions obtained with a given stress distribution, as first proposed by Raju and Newman [35] . Firstly this requires that the stress distribution is fitted to a third-order polynomial,
where x is the radial distance from the inner surface, H the wall thickness and b i the time dependent fitting coefficients. A third order polynomial cannot exactly describe the full stress distribution. We therefore chose the length over which we calibrated the stress distribution for the K-calculation. The length we used, is 1.5 times the crack depth (1.5Áa) or the total width H, if 1.5a is larger than H. Once the b i coefficients were obtained, the stress intensity factor was then computed from:
where i 0 , i 1 , i 2 and i 3 are the tabulated influence coefficients that depend on the shape of the crack a/2c (see Fig. 15 ); on the crack/tube thickness ratio a/H; on the pipe geometry (wall thickness and inner radius); on the crack orientation (axial or circumferential); and on the location along the crack front. The parameters in our analysis were taken from RCC-MRx (A16.8424.1 and A16.8434.1). The influence coefficients tabulated in RCC-MRx are given for the deepest point and the edge of the elliptical crack for a/H = 0, 0.1, 0.4, 0.4, 0.6 and 0.8 and a/c = 1, 1/2, 1/4, 1/8, 1/16 and 0 (0 for the circumferential crack corresponds to an axisymmetric crack). Tabulated data are not available for a thickness to inner-radius (H/R i ) equal to 1.4, which corresponds to our case. Values for b n coefficients for this special case were extrapolated using the available values. For cracks deeper than 80% (a/H > 0.8), we always need to use extrapolation. The ''Handbook approach" outlined above applies in principle only to elastic conditions, whereas in our case we are obviously in the plastic regime. Moreover, K values based on a fully linear elastic analysis would grossly overestimate the crack Fig. 15 . Model used for semi-elliptical circumferential (left) and axial crack (right). growth in a strain controlled loading as in the case of thermal fatigue. Hence, we need ''plastic-equivalent" K-factors to describe the mechanics of fatigue crack propagation [36] . This is done through the J/K-equivalence,
where J is the J-integral. The J-integral applies to both elastic and elasto-plastic conditions but Eq. (3) applies strictly only to elastic conditions. In elasto-plastic conditions a ''plastic equivalent" K can be derived from the computed elasto-plastic Jintegral and Eq. (4). The stresses for the K-calculation in Eq. (3) are based on elastic-plastic stresses. This accounts for the reduction of the plastic-equivalent K for strain controlled loading. This would under-predict the plastic equivalent K so we need additional ''plasticity correction" factors. The plastic deformation gives a higher crack tip opening displacement compared to the elastic case, which increases the ''plastic K". If J is assumed to be proportional to the crack tip opening displacement (CTOD), which is the case for ideal-plastic materials, then it follows from Eq. (4) that the plastic stress intensity factor is given by:
The ratio between the plastic and small-scale yielding CTOD can be approximated by a Dugdale yield-strip model for an ideal plastic material [37] . The resulting CTOD plasticity correction then becomes:
Here r app is the mean stress over a length of 1.5 times the crack depth and r f a representative flow stress. For a hardening material, the mean value between yield stress and ultimate strength is a natural choice. When a circumferential crack gets deeper, the remaining specimen cross section is reduced. This would eventually result in a plastic collapse from the axial load when the ligament between the crack and the outer surface becomes small. A plasticity correction for this is done by a plastic collapse factor taken from the R6 procedure for monotonic loading [38] :
The plastic collapse factor is,
where F is the axial force, A 0 and A c are the uncracked cross-section of the pipe and the area of the circumferential crack respectively. This factor is empirical, derived for monotonic loading and has significant conservatism. Using the elasto-plastic stresses reduces the effective K-values under strain controlled loading. The CTOD plasticity correction (Eq. (6)) affects mainly short cracks whereas the plastic collapse correction (Eq. (7)) only applies to a circumferential crack, and becomes more important for deeper cracks. The two plasticity corrections were only applied to positive stress intensity factors. Thus, using Eqs. (2)- (7) and interpolation of the influence coefficients, we computed the stress intensity factor as function of time for an arbitrarily shaped semi-elliptic circumferential or axial crack.
Crack propagation
The growth of the fatigue crack was calculated from Paris Law,
C p and m p are specific materials parameters, K max and K min are the computed maximum and minimum stress intensity factors during a complete cycle for a prescribed crack, DK eff is the effective stress intensity factor range and R is the ratio between K min and K max, q is a measure to account for the plastic crack closure. Eqs. (8a)-(8c) are taken from RCC-MRx. These formulas were used for both 316L and P91. Fig. 16 shows computed DK eff values versus crack depth for different values of the axial load, all with a fixed crack aspect ratio c/a = 2. Fig. 16a shows the computed DK eff for 316L with and without CTOD and plastic collapse corrections. The crack tip plasticity correction is, as expected, highest for short cracks. The plastic collapse correction only affects very deep cracks and will be only seen for cracks deeper than 11 mm. Fig. 16b shows the computed DK eff at the deepest point and the surface point of a circumferential crack. For crack depths beyond 4 mm the surface point has a higher DK eff which indicates that a propagating crack would tend to increase the aspect ratio. Fig. 16c compares DK eff at the deepest point for a circumferential and axial crack. DK eff for the axial is below the value for the circumferential crack and is not affected by the axial load. Finally in Fig. 16d DK eff values are depicted for the deepest point of a circumferential crack in 316L and P91. For P91 the effective stress intensity factor is higher for cracks with depth below 6 mm due to higher stresses.
Simulation of the crack propagation using Eq. (9) and including a change of the crack aspect ratio, requires the proper values for the Paris law parameters m p and C p , which are temperature dependent. Moreover, these values may vary between different heats of nominally the same material by more than a factor of 2. Table 3 summarizes iso-thermal values at different temperatures taken from RCC-MRx for P91 and 316L and representative literature values for 316L, together with the associated iso-thermal crack growth rate for DK eff = 15, 30 and 45 MPa ffiffiffiffi ffi m p , which are typical values in our case. First of all, there is a significant temperature dependence of the crack growth rates; this effect is stronger for 316L. In a non-isothermal case, it is not obvious which value to use. In particular for the inner surface, the temperature varies from almost 550°C at the beginning of the cooling to around 200°C at the end of the cooling. In fact, the highest stress intensity value occurs at the end of the cooling, when the temperature has its lowest value. This is illustrated in Fig. 17 , where the temperature at the computed maximum and minimum stress intensity factor is plotted versus the crack depth, together with the corresponding maximum 316L (lit) 25-375 2:7 Á 10 À10 3.9 1:0 Á 10 À5 1:5 Á 10 À5 7:3 Á 10 À4 400 0:72 Á 10 À8 3.9 4:3 Á 10 À5 4:0 Á 10 À4 1:5 Á 10 À3 550 1:8 Á 10 À8 3.2 1:1 Á 10 À4 9:9 Á 10 À4 3:6 Á 10 À3 P91 RCC-MRx 25 0:12 Á 10 À7 2.75 2:1 Á 10 À5 1:4 Á 10 À4 4:2 Á 10 À5 450 0:93 Á 10 À7 2.33 5:1 Á 10 À5 2:6 Á 10 À4 6:6 Á 10 À5 550 9:3 Á 10 À7 1.83 1:3 Á 10 À4 4:7 Á 10 À4 9:9 Á 10 À4 a The RCC-MRx data for 316L are for welds. and minimum temperatures during the load cycle. The relationship between the temperature and stress intensity factor is more complicated than between stress and temperature, since the stress intensity factor depends on the total stress distribution across the wall. Also in this case, the stress intensity factors and temperatures are out of phase. There is much less thermo-mechanical fatigue data on crack propagation than pure fatigue curves. Jacobsson et al. [39] noted the best agreement with thermo-mechanical crack growth tests experiments if the crack parameters were taken from the temperature at maximum K, which, in our case, would mean 250°C for a 1 mm deep crack. For P91 we used the values given in RCC-MRx, which are in line with literature data [40] [41] [42] ; whereas for 316L RCC-MRx only gives the value for weld material, which gives a much higher crack growth rate than typical literature values. We therefore use the literature data for 316L, [43] [44] [45] . Moreover, we will use the parameters for the maximum temperature (550°C). This is expected to provide a conservative estimate of the crack growth rates.
Total thermal fatigue life assessment
We now have defined the tools to perform a total life assessment of the thermal fatigue test which includes the formation of a 1 mm deep crack and the propagation of the 1 mm crack until it becomes a surface breaking crack.
For the formation of a the 1 mm crack, which includes initiation of surface cracks and propagation of a short crack, we used the total strain range and the RCC-MRx design fatigue curves with a reduction factor of 4.8, as described above. The used number of cycles for the 1 mm crack formation is 2000 cycles for 316L and 18,700 cycles for P91. The same values were used for longitudinal and axial cracks and were independent of the applied axial load.
For the crack propagation, we computed the stress intensity factors at the deepest point and the surface point for a single semi-elliptic or axi-symmetric crack using the Eqs. (2)- (8) . The crack propagation was calculated by cycle-by-cycle integration for the deepest and surface points (see Fig. 15 ),
This approach simulates in a natural way the change of the crack shape. When the length along the inner surface for axial crack reaches the length of the pipe's inner perimeter (i:e: 2c ¼ 2pR i ¼ 62:83 mm), R i the inner radius of the pipe, we switched from the Handbook solution of a semi-elliptic crack to an axi-symmetric crack. The stress used for the plasticity corrections Eqs. (6) and (7) was 400 MPa for P91 and 350 MPa for 316L. The depth of the initial crack from which we start the crack propagation, a 0 , is specified to be 1 mm. The crack propagation rate depends also on the specified initial crack aspect ratio. It was stated above that shallow cracks were close to axisymmetric in some cases, e.g. for TFR16. In some other cases shallow cracks were semi-elliptical with a relatively small aspect ratio. To assess the influence of the initial shape we will analyse two cases: the first one with an aspect ratio c 0 / a 0 = 2, which can be seen as a lower boundary for shallow cracks; the second case involves an axi-symmetric starter crack for the circumferential crack and a corresponding aspect ratio for the axial crack, e.g. 2c 0 /a 0 = 2R i p, which is an upper bound. Fig. 18 shows computed crack depths versus number of cycles for some different cases together with some experimental data. Fig. 18a -c is for 316L. Fig. 17 . Temperature at the crack tip location for a semi-elliptical circumferential crack at computed maximum and minimum K-values together with the maximum and minimum temperatures during the cycle. Fig. 18a shows the result for a circumferential crack c 0 /a 0 = 2, based on the elastic-plastic stresses but without and with and the plasticity corrections from Eqs. (6) and (7) . The case without CTOD and plastic collapse corrections underestimates the crack growth rate with a large margin. The plasticity corrections give better agreement with the experimental data, but the prediction is still non-conservative.
Temperature [C°]
In Fig. 18b the predictions are compared for the axi-symmetric and semi-elliptical starter crack (c 0 /a 0 = 2), in both cases with the CTOD and plastic collapse corrections. The axi-symmetric case gives an excellent prediction for TFR12 and TFR14 with F = 150 kN. For TFR 15 and TFR16 with F = 100 kN the predictions slightly underestimate the crack growth. For the case TFR5 with F = 50 kN, the semi-elliptical starter crack gives a good estimate whereas the axi-symmetric case slightly overestimates the crack growth rate. In the simulation, the semi-elliptical crack becomes axi-symmetric at a depth of about 10 mm. These predictions are in good agreement with the experimental observations that an axial force of 100 or 150 kN promotes shallow cracks that are almost axi-symmetric; whereas an axial load of 50 kN results in both axial and circumferential cracks of complex shape. Fig. 18c plots the axial and circumferential crack depth evolution together with the experimental results for the case F = 0.
The predictions are for c 0 /a 0 = 2 and R i p. The crack depth is similar for both crack geometries and for crack depths beyond 10 mm; the axial crack becomes the deepest one. The predictions are in good agreement with TFR3, whereas for TFR1 the model over-predicts the crack depth for the circumferential crack and underestimate it for the axial crack. The large difference between TFR1 and TFR3 is a clear indication of scatter. We know from the experiments that in this case the pipe can contain a large number of cracks and crack interaction may be the main reason for the discrepancy between the two nominally identical tests. Finally in Fig. 18d the predicted crack depth evolution is depicted for P91 and 316L for F = 150 kN. The agreement for both materials is quite good given the various model assumptions. The longer fatigue life for P91 is mainly due to the later formation of the 1 mm crack. As mentioned in the introduction, P91 has a much higher ''thermal fatigue resistance". For the crack propagation, the effective stress intensity factor is higher for P91 as shown in Fig. 16d , but P91 has better fatigue crack growth resistance as seen in Table 3 , leading to a somewhat slower crack propagation rate for this case. 
Discussion
The crack initiation and crack propagation in a component subjected to thermal fatigue loading is controlled by a combination of complex non-isothermal loadings, interaction of multiple axial and circumferential cracks and depends on the specifics of the materials, which are difficult to determine with high accuracy. A total life assessment therefore needs a number of simplifications, as in our case, that seem very drastic at first. Nevertheless, the overall agreement between predictions and the experiments is rather good. In order to further confirm this and evaluate additional improvements, more test data are required. As an intermediate step, it is interesting to review the various assumptions and to what extent it is possible to improve our engineering model.
The underlying mechanisms for the formation of a 1 mm crack are very complex and are affected by the microstructural features, such as grain size and orientation, and hence includes inherent scatter. The adopted approach based on design fatigue curves with safety factors determined from experiments is a natural approach. However, it would need to be verified by more data for crack initiation and short crack growth.
The propagation from a 1 mm deep starter crack depends on the assumed initial defect shape. This effect was quite significant for the circumferential crack and increased with the amplitude of the axial load. Since the loading is axi-symmetric, it is natural to assume an axi-symmetric circumferential starter crack. It was noted from the crack depth measurements that cracks for the cases with F = 100 and 150 kN were indeed close to axi-symmetric, but for the cases with lower axial load this was not the case. The faster crack growth for TFR15 compared to TFR12 could be attributed to the differences in crack shape, as illustrated in Fig. 4b and c , where the more planar and axi-symmetric shape in TFR15 promotes faster growth than for TFR12. The shape of the starter crack is expected to have some inherent variation, which would be one contributor to variations in fatigue life. From our modelling point of view there is no restriction on crack aspect ratio for a single crack, as long as it is semi-elliptical.
For the cases with an axial load of 100 or 150 kN, the experiments indicate the formation of a dominant circumferential crack, which explains the very good agreement between the tests and the simulations. For the cases with an axial load of 0 or 50 kN, we know that a very complex cracking develops, including both axial and circumferential cracks interacting and coalescing into complex macro-cracks, as indicated by Fig. 4a . Crack interaction may promote or accelerate propagation of the deepest cracks. Multiple cracking increases the compliance of the pipe component. Under thermal fatigue loading, which is strain controlled, multi-cracking is expected to reduce the crack propagation rate; whereas for the axial primary loads the opposite effect is expected. Interaction between adjacent individual parallel crack depends on the size and distance between the cracks; it would generally accelerate crack growth but the opposite can also occur. A third type of interaction would be when an axial and a circumferential crack link-up. TFR3 has a large number of axial cracks but the circumferential cracks never developed fully into circumferential ones. Instead a circumferential crack would merge with an axial crack and further extension in the circumferential direction would be blocked, resulting in a rectangular crack shape rather than semielliptical as seen in Fig. 4a . In any case, modelling of crack interaction cannot be done using the Handbook solutions which are based on single cracks. Explicitly modelling of propagation and coalescence of arbitrary interacting multiple cracks, for instance in a FE-model, is not feasible, due to the required computational resources, as well as various additional complex model aspects that would need to be addressed.
Our analysis is based on the cyclic-strain curves from the RCC-MRx Design Code taken at mid-fatigue life. P91 has significant softening and the initial stress-strain would have higher yield stress. This would promote higher crack propagation at early life and would mainly affect the relatively shallow cracks in early fatigue life. Modifications to address cyclic softening or hardening could potentially be incorporated but the analysis would be more complicated, since the change in strain range would need to be accounted for.
Crack tip closure effects depend on the crack geometry and the stress and strain distribution. In our analysis crack closure was only taking into account in a very rudimentary way through the q-factor in Eq. (8c). More refined assessments would need explicit modelling of elasto-plastic cracks. This is very difficult and would increase the complexity significantly. It was shown in Figs. 12 and 13 that the nonlinear kinematic hardening model for cyclic plasticity results in substantial ratcheting. Although the ratcheting is over-predicted by the non-linear kinematic model, one would still expect quite significant ratcheting, which also would impact the fatigue life [46, 47] .
The cracks propagate under non-isothermal loading. In the analysis we use the crack propagation parameters at the maximum temperature (550°C), which should be a conservative approach. Other approaches such as relating the crack propagation parameters to the temperature at the crack tip at when the stress intensity factor [39] could also be implemented as an extension to our model since we compute both the temperature and the stresses and strains at each point in the pipe throughout the entire load-cycle. More advanced non-isothermal approaches would require more general crack propagation laws and data than the iso-thermal Paris law in Eq. (8) .
Two final points are corrosion effects and creep. The inner bore of the pipe is corroded after the test and corrosion is clearly visible. For crack initiation this should be included in the factor we used for the design fatigue curve. Fractography of specimens, reported in [6, 14] , showed primarily transgranular crack propagation, which indicates that crack growth was mainly due to fatigue. The maximum temperature is above the so-called negligible creep regime so creep-fatigue crack growth cannot be fully ruled out. From Fig. 10 it can be seen that any given point has tensile stresses only for a part of the load cycle, so there is no time to develop steady state creep. An estimate of the creep contribution per cycle was done in [6] by computing a C-integral for small-scale creep based on a model proposed by Riedel [48] . Using the maximum C-value and integrating it over the load cycle gave a creep contribution much smaller than the fatigue contribution. Based on this plus the observed transgranular crack growth, we conclude that creep effects are negligible.
In summary, the proposed model seems to predict the fatigue life of the tested pipe components quite well. It should be stressed that the thermal loads in our experiments are much higher than what can be expected for components under operation. For instance for sodium fast reactors the temperature variation between coolant and the component's maximum temperature seldom exceeds 100°C and 200°C could be seen as an upper limit. The thermal-shock frequency can be quite high, up to 10 Hz for the upper core structure in a sodium fast reactor. The approach outlined in this paper could, of course, be adopted and the deformation would primarily be elastic, which simplifies the analysis, and the sinusoidal method [49] could be applied. Test with lower temperature excursions, while keeping the same maximum temperature, would require a test facility with sodium or a cooling medium with similar physical properties (in particular heat transfer coefficient).
Conclusions
In this paper we have presented low-cycle thermal fatigue tests of pipe components made of P91 tempered ferriticmartensitic steel and 316L austenitic steel, heated up to 550°C and cooled by cyclic water down-shocks in combination with different amplitudes of a static axial load. The evolution of the cracking was measured by time-of-flight ultrasounds diffraction and X-ray computed tomography. By increasing the axial load, the fatigue life was reduced. For low axial loads the cracking was very complex with both circumferential and axial cracks, whereas for high axial loads a dominant circumferential crack developed. P91 had better resistance than 316L against initiation of thermal fatigue cracks.
The tests were analysed by an engineering model that included a thermal finite element analysis to capture the temperature variations and a finite element elasto-plastic analysis of an un-cracked pipe to compute the associated stresses and strains. The fatigue life, including the formation of a 1 mm deep crack and the propagation to a surface breaking crack, was computed by post-processing of the stress and strain results. Even though the analysis of this complex problem is based on a number of simplifying assumptions, in particular the single crack assumption, the predicted crack growth versus number of cycles is in quite good agreement with the experimental results and captures the observed difference between the two materials and the impact of the axial load. The model can be used as an engineering tool to predict the thermal fatigue life of components exposed to representative conditions.
